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Abstract. The dynamic response of thin, perforated aluminium plates subjected to blast loading was studied
both experimentally and numerically. Two different blast intensities were used and the plates were pre-cut
with four horizontal and vertical slits prior to testing. The applied AA6016-T4 plates had an exposed area
of 0.3 m × 0.3 m and a thickness of 1.5 mm. Special focus was placed on the dynamic response and failure
characteristics of the plates. Uniaxial tensile tests were conducted in three different directions to determine the
material behaviour and material parameters were found by inverse modelling using the optimization tool LS-
OPT. Finally, numerical simulations were performed in the finite element code Abaqus/Explicit where the plates
were uniformly loaded with time-dependent pressure histories from similar tests on massive plates. The material
behaviour was assumed to follow the J2 flow theory of plasticity and an uncoupled damage model was used in
combination with element erosion to predict material failure. The numerical results were in good agreement
with the experimental observations and predicted both the dynamic response and the complete tearing of the
centre part of the plates.

1 Introduction

Plates subjected to blast loading have been studied for sev-
eral decades and the dynamic response is well documented
(see e.g. [1]). However, when introducing perforations
in the plate, the dynamic response and failure mode may
change, and the current literature contains limited research
on this. The perforations may be a consequence of com-
bined blast and fragmentation events or pre-formed holes
to imitate a facade. Ductile failure in blast-loaded plates
without perforations typically results in complete tearing
along the boundary [2]. This failure mode has been sim-
ulated with good accuracy in previous studies. By intro-
ducing pre-formed holes in the plate, studies have shown
that cracks may initiate at and propagate from the perfo-
rations, resulting in a more complex failure pattern. Aune
et al. [3] conducted experiments on steel plates with four
pre-formed holes subjected to blast loading. It was ob-
served that cracks initiated at the extremities of the holes
and notable crack growth was seen along the diagonals.
The numerical simulations proved to be mesh dependent
and shell elements with characteristic lengths similar to
the plate thickness were needed to predict the observed
failure pattern. Li et al. [4] conducted experiments on
steel plates with circular, square and diamond shaped pre-
formed holes to study the dynamic response. It was re-
ported that diamond shaped holes had the lowest capacity
and failure occurred by cracks propagating between the
holes. Rakvåg et al. [5] also conducted experiments on
steel plates with pre-formed holes subjected to pressure
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pulse loading. The applied load was not sufficient to initi-
ate crack propagation, but localization of plastic deforma-
tion was observed at the extremities.

This study is inspired by the perforated geometries
used by Rakvåg et al. [5], where the pre-formed slits dis-
played the largest value of equivalent plastic strain in the
simulations. It was assumed that these perforations were
suited for initiating and propagating cracks when loading
the plates by a blast pressure. In the numerical simula-
tions, the constitutive model was kept relatively simple and
only a single uniaxial tensile test was used to calibrate the
material parameters. A refined mesh was used to capture
the plastic behaviour and the ductile failure of the plate.
The boundary conditions of the plate were modelled in a
simplified manner and the load was applied as a pressure
load with the intention to investigate the performance of
an uncoupled blast-load approach.

2 Experimental work

2.1 Material tests

The 1.5 mm thick plates were cut from a rolled and heat
treated sheet of aluminium alloy AA6016-T4 produced by
Hydro Aluminium. Rolled, heat treatable alloys as the
AA6016 are popular for use in automotive skin sheets [6],
and have qualities such as good formability in solid solu-
tion combined with high strength when artificially aged.
The plates were received with dimensions 625 mm × 625
mm × 1.5 mm and the chemical composition of the alloy
is given in Table 1. Due to the natural ageing, which is a
continuous process in the T4 temper, the strength and work
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hardening behaviour of the material are affected by room-
temperature storage. Both the material tests and the shock
tube tests were therefore conducted with as little time dif-
ference as possible.

Tensile tests on specimens taken from the plate ma-
terial were conducted in three directions with respect to
the rolling direction; 0°, 45° and 90° with two repetitions
for each direction. The dog-bone specimens had a gauge
length of 70 mm, an initial thickness of 1.5 mm and were
all cut out from the same plate. An Instron 5982 series
testing machine with a 250 kN load cell was used with a
crosshead velocity of 2.1 mm/min, which corresponds to
an initial strain rate of 5 ×10−4 s−1. The axial force was
measured by the load cell at 1 Hz while 2D-DIC was used
to track displacements using a virtual extensometer of 50
mm within an in-house DIC code. The 2D-DIC method
used in this study is presented in detail in Refs. [7, 8].
To prepare the specimen for DIC, a speckle pattern was
spray-painted on the gauge section and a camera oper-
ating at 1 frames per second oriented perpendicularly to
the specimen captured the pictures. Representative force-
displacement curves from the three directions and the opti-
mized finite element analysis (FEA) of the dog-bone spec-
imen are shown in Figure 1.
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Fig. 1: Typical force-displacement curves from the tests
compared to the FEA. The circle denotes the assumed
point of failure used to calibrate WC .

In addition, the assumed point of failure based on the
DIC analysis is denoted with a circle. The repeated tests

in each direction showed good repeatability and are not
displayed. The curves reveal that the material is nearly
isotropic with respect to flow stress while there is a slight
difference in elongation at failure.

2.2 Shock tube testing

The component tests were conducted in the SIMLab Shock
Tube Facility (SSTF) at NTNU. The SSTF is presented
in detail in Ref. [9] and only a brief presentation will be
given here. Conducting blast tests in the SSTF, as op-
posed to free-field airblast tests which use high explosives,
gives a more controllable and accessible setup to study the
dynamic response of blast-loaded structures. The SSTF
consists of three main parts: a high-pressure chamber (de-
noted driver in Figure 2), a low-pressure chamber (denoted
driven in Figure 2) and the firing section. An illustration of
the experimental setup of the SSTF is shown in Figure 2,
where also important dimensions are presented. The fir-
ing section is separating the driver section from the driven
section with several intermediate chambers separated by
diaphragms. This creates a step-wise pressure gradient be-
tween the driver and driven sections as the driver and firing
sections are filled with compressed air. The shock wave
is initiated by instantaneous venting of the firing section,
resulting in rupture of the diaphragms which generates a
shock wave travelling into the driven section. Simultane-
ously, rarefaction waves expand in the opposite direction
towards the end of the driver section. Keeping the length
of the driver section short compared to the driven section
has the advantage that the rarefaction waves catch up with
the shock wave, resulting in pressure-time histories similar
to that in free-field airblast explosions. The planar shock
waves impact the test specimen which is mounted at the
end of the driven section with twelve M24 bolts in an at-
tempt to achieve fixed boundary conditions. The exposed
area of the plate corresponds to the internal cross-section
of the tube in the driven section which is 0.3 m × 0.3 m.
Upstream the driven section, two pressure sensors denoted
Sensor 1 (0.245 m from the test specimen) and Sensor 2
(0.345 m from the test specimen) are flush mounted to ob-
tain pressure-time histories close to the plate during a test
(see Figure 2). A dump tank with windows on each side is
located at the end of the driven section, covering the test
specimen. Aluminium inserts were used to obtain the de-
sired driver length of 0.77 m, while the combined length
of the firing and driven section is 16.20 m.
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Fig. 2: Illustration of the experimental setup of the SIMLab Shock Tube Facility (STFF) [3].
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Table 1. Chemical composition of AA6016-T4 in wt-%.

Si Mg Fe Mn Ti Zn Cu Cr Al
1.316 0.349 0.1617 0.0702 0.0175 0.0084 0.081 0.0025 Balance

The geometry of the perforated plate and the clamp-
ing frame is shown in Figure 3. The four slits were cut
with wire erosion resulting in a width of approximately
0.1 mm. They were placed according to Figure 3, giving
double symmetry along the vertical and horizontal axes.
Two blast tests were conducted at 1.0 MPa and 1.5 MPa
initial firing pressure in the driver, denoted P-1 and P-2
hereafter, respectively.
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Fig. 3: Geometry of the perforated plate and clamping
plate. All measures in mm.

A typical pressure-time history from a blast load is
given in Figure 4. The blast load is recognized by the
instantaneous change in overpressure from zero to peak
pressure Pmax at time ta. The pressure then decays expo-
nentially, and after a time period denoted td+ the pressure
is back at ambient level. This part of the pressure-time
curve is denoted the positive phase and is followed by a
negative phase. The negative phase is a result of the mo-
mentum of air which generates an overexpansion so that
the absolute pressure at the tail of the blast wave falls be-
low atmospheric pressure, resulting in a reverse flow back
to the explosion centre. The negative phase occurs outside
the time window of interest in these experiments, and this
study will therefore only focus on the positive phase of
the blast loading. To model this, the modified Friedlander
equation [9] is used, given as

Pr(t) = Pmax

(
1 − t − ta

td+

)
exp
(
−b(t − ta)

td+

)
(1)

where t is time and b is a coefficient governing the decay
of the pressure from Pmax.
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Pmax

t

Pr(t)

td+ td-
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Fig. 4: Pressure-time history of a typical blast load.

The tests P-1 and P-2 are compared to tests with equiv-
alent firing pressure on a massive plate [9] in Table 2. The
incident wave parameters are taken from Sensor 1, 0.245
m upstream the test specimen in Figure 2. It is assumed
that the deviation in maximum pressure ∆Pso,max of the in-
cident wave between the massive plate experiments and
the corresponding tests on plates with pre-formed holes is
negligible. The mack number of the shock wave Ms be-
tween these experiments is also similar. To determine the
pressure load to be applied in the numerical model, an un-
coupled approach is chosen which means that the pressure-
time history from the massive plate tests in Ref. [9] is used.
In these tests, pressure sensors were mounted directly on
the plate and Eq. (1) was used to obtain idealized pres-
sure profiles. By using this method, FSI effects are omit-
ted which results in an overestimation of the pressure-time
history. This is due to the motion of the plate which al-
ters the pressure at its surface. An alternative is to perform
coupled FSI analyses, where the shock wave is simulated
as well as the structure. However, this is beyond the scope
of this study.

3 Numerical simulations

3.1 Constitutive modelling

A modified Johnson-Cook (MJC) [10] constitutive relation
was chosen to represent the material behaviour in the FE
model. As the material was found nearly isotropic, the
von Mises yield criterion was employed in combination
with the associated flow rule and isotropic hardening. The
constitutive relation is expressed as
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Table 2. Comparison of incident wave parameters between tests on massive and deformable plate, and idealized pressure histories in
terms of Friedlander parameters curve fitted to the massive plate test data (R-1 and R-2) presented in Ref. [9].

Test
Incident wave

parameters
Reflected wave parameters

(idealized to Eq. (1))
Ms
(-)

Pso,max
(kPa)

∆ Pso,max
(%)

Pr,max
(kPa)

td+
(ms)

b
(-)

ir+
(kPa ms)

R-1 1.50 161.7 - 446.2 35.4 1.571 4904.5
P-1 1.51 171.4 6.0 - - - -
R-2 1.63 219.1 - 606.6 44.1 2.025 7510.0
P-2 1.63 219.3 0.1 - - - -

σeq =

σ0 +

2∑
i=1

Qi(1 − exp(−Ci p))

 (1 + ṗ∗)c(1 − T ∗m)

(2)
where σeq is the equivalent stress, σ0 is the yield stress,
p is the equivalent plastic strain, ṗ∗ = ṗ/ṗ0 is the dimen-
sionless plastic strain rate, T ∗ = (T − Tr)/(Tm − Tr) is
the homologous temperature and m is the parameter con-
trolling the thermal softening. The parameters Qi and Ci

determine hardening, ṗ0 is a user defined strain rate, Tr is
the ambient temperature and Tm is the melting temperature
of the material. Adiabatic heating was included due to the
dynamic nature of the tests and the change in temperature
is calculated using

Ṫ =
χ

ρcp
σeq ṗ (3)

where ρ is the density, cp is the specific heat and χ is the
Taylor-Quinney coefficient.

Failure was taken care of by the criterion proposed by
Cockcroft and Latham (CL) [11] which has the advantage
of only requiring one uniaxial tensile test for calibration.
The criterion is uncoupled from the constitutive model and
reads

D =
W
Wc
=

1
Wc

p∫

0

〈σ1〉 dp (4)

where D is the damage variable, Wc is the failure param-
eter and σ1 is the major principal stress. Wc is found by
integrating the major principal stress in a uniaxial tensile
test over the entire equivalent plastic strain path to the plas-
tic strain at failure, and the material fails when D reaches
unity. The Macaulay brackets imply that only positive val-
ues of the major principal stress contribute to the damage

evolution. An important feature of the CL failure criterion
is that it accounts for both the stress triaxiality σ∗ and the
Lode parameter µσ in the expression for the major princi-
pal stress given as

σ1 =

σ∗ +
3 − µσ

3
√

3 + µ2
σ

σeq (5)

where the stress triaxiality and the Lode parameter are de-
fined as

σ∗ =
σH

σeq
, µσ =

2σ2 − σ1 − σ3

σ1 − σ3
(6)

The principal stresses are ordered as σ1 ≥ σ2 ≥ σ3 and
σH is the hydrostatic stress.

The hardening parameters Qi and Ci were found by
inverse modelling using the optimization tool LS-OPT,
where an FE model of the tensile test was made and se-
quential analyses were run on the same model, varying
the hardening parameters. The engineering stress-strain
curve from a representative test was used as a target curve,
and the mean-squared-error between the simulated and ex-
perimental target curve was minimized. To calibrate the
CL failure criterion, the equivalent plastic strain p was
extracted from the element exposed to the largest plastic
strain in a simulation of the tensile test. The failure strain
pf was determined at the assumed point of failure taken
from the force-displacement curve (see Figure 1). The ma-
jor principal stress was then integrated over the equivalent
plastic strain path to find Wc. The calibrated material pa-
rameters are presented in Table 3. The remaining physical
and material parameters are taken from the literature and
are given in Table 4.

Table 3. Calibrated material parameters for the constitutive relation.

σ0 (MPa) Q1 (MPa) C1 Q1 (MPa) C1 ṗ0 (s−1) Wc (MPa)
115.0 97.5 24.9 240.9 2.0 5 × 10−4 199.0

Table 4. Physical and material parameters for the material taken from the literature [12].

E (MPa) ν ρ (kg/m3) cp (J/kgK) χ Tr (K) Tm (K) c m
70000 0.3 2700 910 0.9 293 923 0.001 1.0
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sionless plastic strain rate, T ∗ = (T − Tr)/(Tm − Tr) is
the homologous temperature and m is the parameter con-
trolling the thermal softening. The parameters Qi and Ci
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Fig. 5: Image series from experiment and simulation of the P-1 test at selected points in time.

3.2 Finite element model

The FE simulations were carried out using
Abaqus/Explicit [13] where a quarter of the exposed
area of the plate in Figure 3 was modelled. The boundary
nodes were fixed against translations and rotations in an
attempt to simulate the axial restraint introduced by the
clamping frame. Solid cube elements with dimensions
0.5 mm × 0.5 mm × 0.5 mm with reduced integration,
denoted C3D8R in Abaqus, were used, which gives
three elements over the thickness and a total of 270 000
elements for the quarter model. This is the same element
size as employed in the simulation of the uniaxial tensile
test where the CL failure criterion was calibrated. The
blast load was applied as a pressure load by tabulating
the idealized Friedlander curves given in Table 2. When
the damage variable D in Eq. (4) reaches unity in the
integration point, the element was removed from the mesh.

3.3 Results

Image series of the numerical and experimental results
from the P-1 test are compared to each other in Figure
5. Only the results from the P-1 test are shown as sim-
ilar results were obtained from the P-2 test. The shock
wave impacts the plate at t = 0 ms and the plate is given
an out-of-plane displacement at t = 0.5 ms. At t = 0.75
ms a petaling deformation is seen to evolve in each of the
slits, but no cracks are observed to initiate at this point in
time. Cracks are then propagating from the extremities of
the slits, both horizontally and vertically, resulting in the
centre part of the plate being completely torn out at t = 1.0
ms. At t = 1.5 ms cracks are seen to propagate from the
remaining slits towards the outer boundary in the direc-
tion of the slits and the middle part of each length of the
boundary folds around the clamping frame.
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4 Concluding remarks

Tests on AA6016-T4 plates subjected to blast loading and
associated material tests have been presented. The blast
tests were conducted in the SSTF at NTNU on 1.5 mm
thick plates with four horizontal and vertical slits at two
different blast intensities. Both tests experienced crack
propagation and complete failure of the centre part of the
plate. Material tests on specimens taken from the plate
material were conducted to calibrate material parameters
using 2D-DIC and the optimization tool LS-OPT. FE sim-
ulations were conducted with Abaqus/Explicit using a re-
fined solid element mesh and the material behaviour was
described by J2 flow theory of plasticity and an uncou-
pled damage model to predict failure. By comparison of
the simulations and tests, good correspondence was found
when predicting the crack propagation and failure pattern.

This study is part of an ongoing research project on the
modelling and simulation of ductile fracture in aluminium
alloys. Further studies will be carried out on the influence
of slit orientation and heat treatment on the dynamic re-
sponse and failure characteristics in the plates. The slit
orientation may result in more complex failure patterns,
while a different heat treatment will change the material’s
strength and ductility. These experimental results will pro-
vide a set of data which can be used to develop and eval-
uate new microstructure-based modelling and simulation
frameworks.

The authors gratefully appreciate the financial support from
NTNU and the Research Council of Norway through the
FRINATEK Programme, Project No. 250553 (FractAl).
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